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Abstract
Nuclear pressure vessel steels are subjected to irradiation embrittlement which is monitored
using Charpy tests. Reference index temperatures, such as the temperature for which the
mean Charpy rupture energy is equal to 56 J ( ﬁﬃﬂ  ! ), are used as embrittlement indicators.
The safety integrity evaluation is performed assuming that the shift of the nil-ductility
reference temperature "#ﬁ%$'&%( due to irradiation is equal to the shift of ﬁﬃﬂ  ! . A material
model integrating a description of viscoplasticity, ductile damage and cleavage brittle
fracture is used to simulate both the Charpy test and the fracture toughness test (CT
geometry). The model is calibrated on the Charpy data obtained on an unirradiated A508
Cl.3 steel. It is then applied to irradiated materials assuming that irradiation affects solely
hardening. Comparison with Charpy energy data for different amounts of irradiation shows
that irradiation possibly also affects brittle fracture. The model is then applied to predict
the fracture toughness shifts ( )*ﬁﬃ+-,/.10 243/3 ) for different levels of irradiation.
Key words: Irradiation embrittlement; Ductile to brittle transition; Charpy test; Fracture
toughness.
1 Introduction
Reactor pressure vessels (RPV) of commercial nuclear power plants are subjected
to embrittlement due to the exposure to high energy neutrons from the core.
The current way to determine the effects of the degradation by radiation on the
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mechanical behavior of the RPV steels is the use of tensile and impact Charpy
tests, from which reference index temperatures, such as the ductile to brittle
transition (DBT) temperature, can be calculated. More conventionally in the French
nuclear surveillance program,   ﬂ  , the temperature for which the mean Charpy
energy is equal to 56J and its increase due to neutron irradiation are determined.
The safety integrity evaluation based on a fracture toughness lower bound curve	

 	
  $'&%( [1] is then performed assuming that the shift of the nil-ductility
reference temperature, 
  $'&%( , is equal to the shift of the embrittlement indicators,
e.g. 
  $ &%(   ﬂ  for a given fluence. This equivalence is of fundamental
importance to structural integrity assessments of RPVs since such assessments are
based on fracture toughness properties which are not generally measured directly.
However some studies have shown large scatter in the relation between   + ,/.
and Charpy index temperature shifts [2, 3]. As the correlation between   ﬂ  and
  +-,/.
is purely empirical, a better understanding is needed. As the same physical
mechanisms control the fracture in both Impact V-notch and quasi-static precracked
fracture toughness tests, the investigation of this relation using micro-mechanical
models of fracture appears to be a very promising way.
The prediction of the Charpy V-notch energies, CVN, and
	
 values vs
temperature curves by means of the Local Approach to Fracture has led to several
studies during the last decade devoted mainly to non-irradiated materials (see
among others [4–9]). Within this framework, a micro-mechanical analysis of the
Charpy test in order to model the DBT curve was proposed, among others [10], by
some of the authors [11, 12].
Assuming that the combined effects of large plastic strain and temperature on the
cleavage mechanism lead to a temperature dependence of the average cleavage
stress, it is then possible to predict accurately the whole Charpy energy transition
curves [12], including the large scatter observed in the DBT range. This strategy
allows to transfer the results of the Charpy tests to larger structures and further to
study the effect of different damage mechanisms as irradiation or ageing on the
DBT temperature. For example in the case of unirradiated materials, the evolution
of the elastoplastic fracture toughness can be predicted based on Charpy impact
data [9, 13]. The aim of this study is to predict and to compare the irradiation
involved shifts of index temperatures obtained from Charpy and fracture toughness
tests using a micro-mechanical description of the involved damage processes. The
effect of neutron irradiation on hardening properties and embrittlement of reactor
pressure vessel steels is analyzed in section 2. The modeling of the ductile to brittle
transition is then detailed in section 3 and the hypotheses considered to model the
DBT temperature for irradiated materials are presented in section 4. This strategy
is then applied to simulate the irradiation-induced shifts of the Charpy DBT curve
(section 5) which are then compared to those of the quasi-static fracture toughness
(section 6).
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2 Effect of neutron irradiation on the Charpy transition curves and
hardening properties
For a given fluence (   (n.cm   )) of neutrons (E  1 MeV) and irradiation
temperature, irradiation induced embrittlement is strongly dependent of the
material chemical composition, and specially on Cu, Ni, P contents [14]. The
volume fraction of copper is an important factor in the hardening-induced
embrittlement due to the irradiation induced defects. This has led to consider
these chemical elements in the empirical embrittlement correlation models for
the prediction of the shift of the reference index temperatures [15, 16]. On the
physical point of view, irradiation produces fine scale microstructures [17]. Their
effects on the macroscopic behavior can be separated into two groups [17, 18]:
(i) change of the plastic hardening, (ii) embrittlement, one of the most well-
known and well-described being phosphorous segregation at grain boundaries [17].
Hardening mechanisms include matrix and age hardening. Matrix hardening is due
to radiation-produced point defect clusters and dislocation loops, referred to as
the matrix damage contribution [18]. Age hardening is an irradiation–enhanced
formation of copper–rich precipitates. These two hardening mechanisms cause
an increase of the yield strength whereas phosphorous segregation causes grain
boundaries embrittlement without any increase of hardness and may be responsible
for intergranular fracture [19]. It should be underlined that the micromechanical
models developed in this study do not consider the embrittlement of the grain
boundaries due to phosphorous segregation. Intragranular cleavage is assumed to
be the prevailing mechanism controlling brittle fracture.
Two principal types of irradiation-induced hardening were found in the literature
and are schematically represented on fig. 1a. In the first case (dashed curve
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Fig. 1. a) Two principal hypotheses concerning the evolution of the flow stress after neutron
irradiation. b) Evolution of ),+.- and UTS /0+1- as a function of the irradiation flux for an
A508 Cl.3 steel (base metal) ( ﬁ3254ﬀ65287:9;<;>= C) [21].
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labeled irr. 1) the whole stress-strain curve of the unirradiated material is shifted
to higher stress values by   - , i.e. the strain hardening rate remains unchanged
whereas the yield stress in increased [22, 23]. This case was also experimentally
observed on ferritic alloys irradiated at 288 = C by electron irradiation [24]. In
the second case the yield stress is increased by   - whereas the ultimate
tensile stress (UTS) remains almost unaffected by irradiation (dotted curve labeled
irr. 2), i.e. that the hardening rate is substantially lower than in the unirradiated
conditions. This case is reported for steels (ferritic, martensitic) subjected to
neutron irradiation at low temperatures (  = C) [25] and its importance increases
with decreasing irradiation temperature [26]. At high irradiation doses, it is also
suggested that neutron irradiation has a similar effect as a plastic prestrain on strain
hardening [27].
The choice of the appropriate case is undoubtedly strongly dependent on the
considered material: in pioneer studies on the interpretation of irradiation effects on
low temperature fracture toughness, the second case was considered for an A533B
steel [28] whereas it was the first case for an A508 Cl.3 steel in [23]. The variation
of the yield stress and the difference between the ultimate stress and the yield
stress for an A508 Cl.3 steel from the French surveillance program [20, 21] with a
chemical composition very close to the unirradiated A508 Cl.3 material considered
in this study [29] and their evolutions with irradiation fluence are reported on
fig. 1b. The variation of the yield stress with fluence up to a maximum value of 6.0



	
n/cm

is well represented by a power-law expression,   -   . A value
of 0.51 is obtained for  which is representative of the low doses regime where
the work hardening behavior is not altered by irradiation [25, 30]. Data plotted on
fig. 1b show that for fluence up to 6.10

	
n/cm
 (i.e.   -  MPa) the behavior of
the investigated steel is closer to case irr-1 which however sligthly overestimates the
actual UTS

. Therefore the hypothesis of unaltered work hardening behavior will
be the only one considered in the present study. This will lead to higher computed
stresses.
Considering both the impact and fracture toughness properties, it is well known
that irradiation embrittlement induces an increase of the DBT temperature and
therefore of the index  
ﬂ  !
[2, 17, 19, 23, 28, 31]. As far as the upper shelf energy
(USE) is concerned, most of the studies report a decrease with increasing irradiation
level. This decrease being strongly dependent of the material considered for a
given level of irradiation. Based on experimental evidences, linear correlations
between the yield stress increase and the DBT temperature shift on the Charpy
energy curves,       - , have been proposed in the literature. In the French
surveillance program, the shift of the index   ﬂ  !     is considered [19] whereas
 

!

 

is used in the American regulations. Based on the experimental values
given in [14, 19, 21, 32] where only A533B and A508 Cl.3 structural steels are
considered linear correlations between  
ﬂ  !
,  

!
and  
-
for various RPV
base metals were established:  
ﬂ  ! 



 
-
and   
! 
ﬀ
ﬂﬁ
ﬃ 
-
(see

Rigorously, the variation of the ultimate stress is given by )  ﬁ"! 7$#&%ﬂ' 9)("*,+ ﬂ

showing
that the hardening rate is slightly decrease with increasing level of irradiation.
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Fig. 2. Evolution of temperature indexes, ) ﬁ   ! and )*ﬁ ﬂ  ! as a function of ),+ - for
various RPV base metals.
fig. 2).
The established   ﬂ  !  1    -      correlation will be considered as the
reference experimental database to which the predictions developed in this study
for Charpy tests will be compared. For fracture toughness tests, the level of 100
MPa 2 3 , which is also considered in the Master curve approach [33, 34] to define
the reference temperature,  
*
, will be used. The finite element (FE) simulations
of fracture toughness tests for different levels of irradiation will be then used to
determine the shift of the index  
+-,/.54

* *
. These predicted shifts will be then
compared to the shift of impact toughness  
ﬂ  !
.
3 Modeling of the ductile to brittle transition
The behavior of the reference unirradiated A508 Cl.3 steel of this study is presented
in the following. More details can be found in [12, 29, 35]. The material model
consists of three parts: (i) a temperature and strain rate dependent viscoplastic
model describing the behavior of the undamaged material, (ii) a model for ductile
tearing, (iii) a model for transgranular cleavage fracture.
3.1 Viscoplastic behavior and ductile failure
A modified Rousselier model [36] which is able to handle strain rate and
temperature dependence of the material behavior is used to represent ductile failure.
In this model, as in the well-known GTN model [37], a single damage parameter
which represents the void volume fraction,
1
, is used to model ductile fracture.
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The model is based on the implicit definition of an effective stress (    ) which is a
function of both the macroscopic Cauchy stress (   ) and of the porosity:
  4 


 1  



ﬁ
1
	



 


 1  


 
4
+


 (1)
where   4  is the von Mises equivalent stress and  ﬀ the trace of the stress tensor,
while


and
ﬁ
are material parameters which need to be adjusted.
The viscoplastic yield function is written as:
ﬂ
  

 

ﬃ

 (2)
where the flow stress 
 as a function of the effective plastic strain, ﬃ is given by:
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where the yield stress   -     , #      and %      are temperature dependent. The
values of the parameters of eq. 3 can be found in [12]. Viscoplastic flow occurs
when
ﬂ+*

. The equivalent plastic strain rate ,ﬃ is given by the viscoplastic flow
function ,ﬃ  F    
  which is expressed as:

,
ﬃ


F 

,
-



,
-

with ,-/.
10
 



	
. 2
4365


!
 (4)
The strain rates ,-  and ,-  are each representative of a deformation mechanism:
(1) Peierls friction, (2) phonon drag. Deformation is controlled by the slowest
mechanism. Here it is important to underline that the viscoplastic model is
identified in the whole range of strain rates (     up to 7  s   ), temperatures
(  98

up to
ﬁ

= C ) and plastic strains (up to 1.0 using the Bridgman analysis)
encountered during the Charpy test and the quasi-static fracture toughness test in
the whole DBT range including fully ductile behavior.
The plastic strain rate tensor is given by the normality rule as:
,
- :




1
,
ﬃ<;
ﬂ
;
 




1
,
ﬃ=;
 

;
 
 (5)
The evolution of the damage variable is governed by mass conservation modified
to account for nucleation of new voids [37, 38]:
,
1 



1?>A@CBEDF

,
- :

HG

,
ﬃ
 (6)
In this expression, the first right handside term corresponds to void growth and the
second one to strain controlled nucleation. G

is a material parameter representing
the nucleation rate [39]. All model parameters directly related to ductile fracture
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(i.e. 

,
ﬁ
and G

) are assumed to be temperature independent.
Under quasi–static loading, isothermal conditions are assumed. Under rapid
loading corresponding to adiabatic conditions, the temperature   increases due to
plastic deformation. In the following, the temperature evolution is written as:
 
:
,
   ,
- :
  


 1 ,
ﬃ
 
 (7)
where
 
: is the volume heat capacity and

a constant factor. Note that
 
: equals


 1
 
*
: where
 
*
: is the heat capacity of the undamaged material so that
 
*
:
,
  
 ,
ﬃ
 

.
The constitutive equations lead to softening up to crack initiation and propagation
so that a material scale length is required. In the following, this length,  , is
identified to the mesh size which must be adjusted. As the model parameters are
numerous, some of them were directly obtained from the metallurgical analysis of
the material. In the present case, the initial porosity is set equal to the Manganese
sulfide (MnS) inclusions volume fraction (i.e. 1
*







 ). Cross section
examinations of notched bars and Charpy specimen, show that secondary voids are
nucleated on cementite particles (Fe 	 C) at high levels of plastic strain. Nucleation
starts for ﬃ 
 

[29]. The carbide volume fraction is obtained from the
chemical composition of the material: 2.3%. This sets the maximum value of the
nucleated porosity. Nucleation is assumed to end for ﬃ
    which is the level
of plastic deformation in a tensile bar close to the rupture surface. Consequently
the nucleation rate parameter G

(eq. 6) is set to 0.038 for 


ﬃ




et to
ﬀ 
otherwise. The other parameters were obtained fitting the model on
experimental results from notch tensile bars (NT) with different notch radii at
room temperature [12]. The following model parameters were used:

 


8
,
 
ﬀ 
and 



3 .
3.2 Brittle failure
The description of brittle failure is derived from the Beremin model [40]
which assumes the well-accepted assumption that cleavage is controlled by the
propagation of the weakest link among a pre-existing population of statistically
size-distributed microcracks. The model uses the following definition of a local
effective stress for brittle failure    : :
 

:


 
 


	


ﬃ

if ,ﬃ   ! ﬃ  ﬃ 

otherwise
(8)
where    is the maximum principal stress of   . The condition ,ﬃ   expresses the
fact than failure can only occur when plastic deformation occurs. The

	


ﬃ

term has been proposed in [40] to phenomenologically account for grain shape
changes or crack blunting induced by plastic deformation. ﬃ  is the critical strain
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over which cleavage can occur. This brittle failure model can be applied as a post–
processor of calculations including ductile tearing. In this case, care must be taken
while computing the failure probability as ductile crack advance leads to unloading
of the material left behind the crack front. Considering that each material point is
subjected to a load history,      ! ﬃ    (    time) the probability of survival of each
point at time   is determined by the maximum load level in the time interval   !  .
An effective failure stress    : is then defined as:
 

:
 
  3 B/	

	
*
4

 

:
 

(9)
The failure probability,   , is obtained by computing the Weibull stress,   :
  

 ﬁﬀ

:ﬃﬂ 

*"!
$#
ﬀ
  

  	 &% ('
 
 )+*
ﬀ-, (10)
where the volume integral is taken over the whole volume of the specimen.

*
is a
reference volume which can be arbitrarily fixed. . is the Weibull modulus which
describes the scatter of the distribution,  /) is a scaling parameter which can be
interpreted as a measure of the mean cleavage strength of a reference volume

*
.
Model parameters (  0) , . ,  , ﬃ  ) must be adjusted.
The original model is adapted to account for the temperature dependence of the
model parameters [12]. The rupture probability of a volume element is then no
longer represented by    : but by 1      :   ) 
ﬀ
where both  0) and . may
be temperature dependent. The load history integrating stress variations but also
temperature changes is represented by:
1
 
 
3
B/	

	
*
4

1
 
 (11)
Finally the failure probability is given by:


 
 



	

ﬃ2
 
  with 2    


1
 

ﬂ 

*
 (12)
The parameters of the model for brittle fracture have been identified using NT bars
tested at low temperature (     


= C): .


ﬀ

,


7 ,
ﬃ 


and  )


8


MPa for

*



3
	
.
3.3 Ductile to brittle transition
The ductile to brittle transition is modeled by simulating ductile tearing and by
post–processing the results in order to obtain the brittle failure probability. There
is therefore no specific model for the transition. This methodology has shown
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to be able to predict mean values as well as scatter of impact and quasi-static
Charpy energies from low temperatures up to    = C (including the 56 Joules
level of impact Charpy energy) using the cleavage model parameters identified at
low temperatures (     


= C), i.e. with constant values for these parameters.
However it is necessary to introduce a temperature dependent  ﬁ) parameter above
a threshold temperature ( 
    = C) to model the sharp upturn of the Charpy
transition curve and to describe the upper part of the curve [12] (Fig. 5).
This apparent effect of temperature on the cleavage mechanism which maybe
combines the effects of large plastic strain, temperature-induced inhomogeneities
of local stress-strain fields [41] and a possible change of the critical defects
population is not within the scope of this paper and is under investigation.
4 Simulation of the ductile to brittle transition for irradiated materials
All the simulations presented here are conducted using the implicit finite element
code ZeBuLon [42]. The FE meshes used to simulate the Charpy and the Compact
tension specimens are shown on fig. 3. Details can be found in [12]. For both
anvil
striker
notch
4054 elements,
38391 degrees of freedom
x
y
z
3479 elements,
50040 degrees of freedom
a b
Fig. 3. Finite element meshes used for the analysis. a) Charpy specimen b) CT specimen.
specimens only


is meshed due to symmetries. The Charpy specimen, striker
and anvil sizes and geometries are those of the AFNOR standard [43]. For the
CT specimens an initial crack ratio  
*



 
has been considered. Full 3D
computations have been carried out for both geometries.
Using the previously described models and the hypothesis that the effect of neutron
irradiation on DBT temperature shifts can be quantitatively assessed in terms
of the effects of irradiation on the flow properties of the material, it becomes
9
possible to model the effect of irradiation on the ductile to brittle transition and to
quantitatively forecast the Charpy energy or fracture toughness versus temperature
curves. Obviously the increase of the flow stress has two consequences: (i) stresses
in the material increase causing earlier brittle failure, (ii) the macroscopic load on
the Charpy specimen increases causing an increase of the dissipated energy in the
ductile regime so that the USE also increases. The USE is computed by propagating
the ductile crack through the whole Charpy specimen. It is here assumed that the
ductile and cleavage micromechanisms are not affected by irradiation. Based on
literature results this assumption is discussed in the following sections.
4.1 Effect of irradiation on ductile damage mechanisms
Studies of ductile damage mechanisms sensibility to irradiation are seldom in the
published literature. The possible effect of irradiation on ductile damage has to be
considered through the nucleation, growth and coalescence processes.
Nucleation. At a nano-scale level, numerous experiments on RPV steels, using
techniques as small angle neutron scattering (SANS) [44] or atom probe
analysis [45], have reported the creation of irradiation induced defects.
Considering their mean size (few nm) it is unlikely they can act as potential
nuclei for ductile damage. This assumption seems to be confirmed by the
micrographs of fracture surfaces of irradiated Charpy specimen tested in the
upper-shelf domain [46, 47]. On these micrographs the mean size of the ductile
voids appears to be of the order of few microns. Assuming that these voids
have nucleated around nanosize precipitates would imply a void growth ratio
of about 200 which is unrealistic. On the other hand the observed dimple
size is characteristic of voids nucleated around carbides in such steels. Results
concerning the irradiation effect on carbides are more ambiguous and seem to
be strongly dependent on the chemical composition of the considered steel. In
the case of French ferritic pressure vessel steels, it has been shown that no
change in composition and size of M  C or M 	 C carbides can be attributed to the
irradiation process [48]. The last population of particles to be considered is the
MnS inclusions. Previous studies on A503 Cl.3 steels have shown that the void
nucleation from such inclusions occurs for a very low deformation (    %) [49]
so that it can be considered as voids present in the virgin material. Therefore
it is unlikely that irradiation will affect the void nucleation process of MnS.
Based on these results, it is considered that the nature of defects involved in
the nucleation process are unchanged by irradiation. Lacking of studies devoted
to the correlation between the carbides void nucleation rate and irradiation has
led to keep the void nucleation law established for the unirradiated material
unchanged (eq. 6). However it should be kept in mind that an increase of the
void nucleation rate may be due to irradiation as it was considered in [50]
for vanadium alloyed RPV steels. In this study [50] it was considered that the
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segregation of phosphorous on carbide and non-metallic inclusion interfaces
reduce the critical void nucleation strain. So that both the nucleation rate and
total nucleated volume fraction are increased.
Growth. At a continuum scale changes of hardening properties may have an
influence of the growth process of existing cavities issued from large inclusions.
Cell computations [51] have shown that when the hardening rate remains
unchanged, as it is almost the case for the steel considered in this study, there is
little effect on void growth kinetic so that the model parameters are kept constant.
Coalescence. As the hardening rate of the studied material is not strongly
affected by irradiation, at a first approximation it was considered that the
localization kinetic which controls the coalescence process is not irradiation
dependent. Nevertheless it is reminded that in case of high irradiation doses
dislocation channel deformation develops and promotes strain localization.
Moreover additional irradiation-induced precipitates between large voids issued
from inclusions, as sulfides, are likely to change the coalescence process as
described in [52].
4.2 Effect of irradiation on transgranular cleavage mechanisms
In the case of cleavage fracture, it has been often considered that at low
temperatures the critical cleavage stress is not affected by irradiation [23, 28]
provided the fundamental mechanism remains identical, i.e. stress propagation-
controlled transgranular cleavage. It is often argued in the literature that for
ferritic steels the local critical cleavage stress,    , is controlled by the coarse-
scale trigger particle microstructure and by the microarrest toughness,  .  , of the
ferrite matrix [53] and that fine scale irradiation induced features are not expected
to have an influence on    and  .  . Therefore the mean cleavage fracture stress will
be first considered as independent on irradiation. Considering the cleavage model
presented in section 3.2 it means that all the model parameters are unaffected by
irradiation.
4.3 Effect of irradiation on the temperature dependence of the yield stress
In order to simulate the whole DBT curve, FE modeling of Charpy-V notch and
CT specimens have been carried out in the temperature ranges [   7  = C     = C]
and [    = C     = C], respectively. The increase of yield stress due to irradiation
in the whole temperature range investigated is then needed. A first approach is to
consider that the hardening observed at one temperature is the same in the whole
temperature range [3, 23]. This relies on the fact that the microstructures produced
by both matrix- and age-hardening provide only long-range barriers to dislocation
motion whereas the temperature dependence of the flow properties is controlled
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by the lattice spacing so that the thermal part of the yield stress should be weakly
affected by irradiation. However experimental data published in the literature show
a slight modification of the yield stress temperature dependence with irradiation
especially at low temperatures [21, 54, 55]. Using these experimental data the yield
stress can be expressed as a function of the temperature and of the fluence as
  -

 
!
      -

  

!
  

  -

 
!
  
ﬁ

'& 

   (13)
where
 

  
is given by:
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with    ﬀ   ,   
ﬁ
 
and  
*


ﬁ



= C.
5 Simulation of the irradiation-induced shifts of the Charpy DBT curve
In a previous study [56], the Charpy transition curve was simulated for different
values of ﬃ  - , i.e. for different levels of irradiation, equal to 45 (low irradiation
level), 88 (mean irradiation level) and 150 MPa (high irradiation level). For
irradiation levels higher than those reported on fig. 1b and up to   -  


MPa, it is assumed that the saturation in irradiation hardening is not reached and
that the deformation mode remains unchanged [25, 57] (i.e. no dislocation channel
deformation). Results for the shifts obtained on the reference temperatures,   ﬂ  !
and    ! are reported on Fig. 4.
As the trends observed for both temperature indexes are similar, comments will
focus on the  
ﬂ  !
index (Fig. 4a). For the three values of  
-
, it is shown that
 
ﬂ  !
is always underestimated assuming that the temperature dependent value
of  )   

is unaffected by irradiation (dotted line in fig. 4a). Assuming that  ﬁ)
is a constant equal to the low temperature value for the unirradiated material
(2925 MPa) gives a conservative estimation of  
ﬂ  !
(dashed line in fig. 4a). Up to
a value of about  
- 
MPa, the model gives an estimation which corresponds
to the upper band of the experimental data. To obtain the mean temperature shift
given in fig. 2b, the parameter  /) has to be assumed to be also affected by irradiation
(full line in fig. 4a). The parameter for the irradiated material is then expressed as:
 

)

 )

 

 
 .
The shift   depends on the level of irradiation, it is calculated in order to
represent the experimental correlation between  
ﬂ  !
and  
-
(Fig. 2b) and is
given in fig. 5 for the three values of  
-
. It is shown in fig. 4b, that the prediction
for    
!
is in reasonable agreement with experimental bounds up to the maximum
 
-
considered in this study (150 MPa) using the same  )      

function.
Using the  )      

variation shown on fig. 5, the predicted Charpy curves
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Fig. 4. Prediction of )*ﬁ ﬂ  ! and ) ﬁ   ! . Three hypotheses are used for the parameter + ) :
(i) constant value (low temperature value for the unirradiated material), (ii) temperature
dependent + ) (unirradiated material), (iii) temperature and irradiation dependent + )
(Fig. 5). Thin lines recall the experimental range.
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Fig. 5. Variation of + ) as a function of temperature for the unirradiated material and for
irradiation levels corresponding to an increase of the yield stress equal to 45, 88 and
150 MPa. Arrow indicates the temperature shift, )*ﬁ  , caused by irradiation.
corresponding to a 50% cleavage failure probability for the considered  
-
values
are reported on fig. 6. On this figure the predicted Charpy energies corresponding
to a ductile crack propagation of 0.2 and 0.5 mm are also drawn. The simulation
results show that the energy level of 56J (drawn with an arrow on each graph)
corresponds to a ductile tearing between 0.2 and 0.5 mm. It is therefore necessary
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to take into account ductile damage to numerically estimate the shift of the index
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Fig. 6. Comparison of the unirradiated and irradiated predicted Charpy energy curves
corresponding to a 50 % cleavage failure probability as a function of temperature for
different irradiation-induced increases of the yield stress, ),+ - . a) unirradiated material,
b) ),+ - 74365 MPa, c) ),+ - 78797 MPa, d) ),+ - 7#:5; MPa. The calculated temperature
corresponding to a 56J level are indicated by an arrow on each graph. CVN energy levels
corresponding to a ductile tearing of 0.2 and 0.5 mm are drawn with thin dashed lines on
each graph.
6 Simulation of the irradiation-induced shifts of the fracture toughness DBT
curve
The same methodology has been applied to simulate the irradiation-induced shifts
of the fracture toughness curve: the evolution of  
.<;=;
)
determined to fit the  
ﬂ  !

 
-
correlation was applied to predict the shift of  
+

4

* *
as a function of  
-
.
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The ability of the model to predict fracture toughness for the unirradiated material
using the  )     relation obtained from Charpy data was shown in a previous
study [13] and is reported on fig. 7a. As in this study no tests have been
performed on irradiated A508 Cl.3 steel, data from literature on similar A508 Cl.3
steels [20, 23] were used for comparison with the model predictions. The effect of
irradiation on the shifts of the reference temperature,   +  4 
* *
is reported on fig. 7b,
c and d.
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Fig. 7. Comparison of the unirradiated and irradiated predicted fracture toughness curve
bounds ( 8 ; 7$#;:9 5;:9 %95 %) of as a function of temperature for different irradiation-induced
increases of the yield stress, ),+.- . a) unirradiated material, b) ),+.- 7 365 MPa, c)
),+1- 7 797 MPa, d) ),+1- 7 #:5; MPa. The calculated temperature shifts at 100 MPa ; <
referring to the unirradiated state are reported on each graph. The ASME =  curves are
represented with thick line ( "#ﬁ )

. ;=;
$'&%(
7 />?= C). Fracture toughness levels corresponding
to a ductile tearing of 0.2 and 0.5 mm are drawn with thin dashed lines on each graph.
For  
- 
7

and 88 MPa, a good agreement is obtained between the model
predictions and available experimental data (see fig. 7 b and c). The fracture
toughness levels corresponding to a ductile tearing of 0.2 and 0.5 mm are also
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shown on fig. 7. It appears that for a level of 100 MPa 2 3 from which the shift
of the toughness curve is obtained, ductile damage has not started to develop,
the hypotheses concerning the irradiation effect on ductile damage do not have
an influence on the predicted   +  4 
* *
.
The   +  4 
* *
shift values obtained considering the 50% failure probability
prediction are reported on each graph and a comparison with   ﬂ  ! is made in
tab. 1. The predicted   +  4 
* *
values are slightly higher than the shifts   ﬂ  ! , i.e.
  $ &%( . The difference decreases with increasing   - .
Nevertheless as the predicted   +  4 
* *
shifts are more important than the   ﬂ  !
shifts (   $ &%( ), the conservatism of the ASME
	
 curve has to be checked for
the irradiated material. The ASME
	
 curve is plotted on each graph of fig. 7
(thick line) using the   ﬂ  ! values given in tab. 1 and the 
  $ &%( value of the
unirradiated material ( 
  ) 
. ;=;
$'&%(
 
 
= C). It is shown that in the investigated range

/ MPa

	
/  C

	 ﬀ
/  C
ﬁ	ﬂ ﬀﬃ 
	
/  C
45 30 49 +19
88 56 73 +17
150 95 104 +9
Table 1
Comparison between )*ﬁ ﬂ  ! and predicted ) ﬁ +  4 
* *
shifts
for   - , the model predictions are always less conservative than the ASME curve
which remains a lower bound.
7 Discussion and conclusions
Simulation of the DBT curves for the unirradiated material.
The ductile to brittle transition characterized by the Charpy impact test and
quasi-static fracture toughness test has been modeled in the case of a RPV
steel using constitutive equations for viscoplasticity, ductile tearing and brittle
failure. The whole Charpy and quasi-static fracture toughness transition curve
of the base unirradiated material can be modeled provided the parameter  ﬁ) of
the Beremin model is considered to be an increasing function of temperature.
This apparent effect of temperature on the cleavage mechanism is considered
to be a combination of the effect of large plastic strain, temperature-induced
inhomogeneity of local stress-strain fields and a possible change of the critical
defects population. Moreover it should be reminded that the cleavage model
considered in this study does not consider the microcracks nucleation step of
the cleavage process (see e.g. [58]).
Simulation of the USE decrease due to irradiation.
The irradiation-induced USE decrease reported in many experimental studies
cannot be reproduced considering only the increase of the hardening properties.
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Following experimental results obtained on an A508 steel, the work hardening
rate was considered to be unaffected by irradiation, at least in the fluence range
considered here. Preliminary FE simulations of the Charpy test, not reported
here, considering a decreasing hardening rate with irradiation (i.e. hypothesis
irr. 2 on fig. 1a), show that the enhanced localization induced by a lower
hardening rate is not able to compensate for the increase of the maximum load
level induced by the increase of the yield strength. As the Charpy energy is given
by the area under the load-deflection curve, the deflection being the same when
the behavior is fully ductile, the amount of energy is more important. This results
in a higher upper shelf level. It should be also noted that fully ductile failure is
obtained on irradiated materials at higher testing temperatures. This will induce a
decrease of the USE if irradiation hardening is not considered. However for high
levels of irradiation where up to a 50% decrease of the USE is reported [46], this
temperature effect will not be sufficient to explain such decrease. In that case a
possible change of nucleation rate may also be involved in the observed decrease
of the USE level. Assuming that only a mode I ductile fracture is prevalent,
a larger nucleation rate will lead to an acceleration of the ductile damage, so
that the ductile crack will propagate faster resulting in a lower energy for a
given temperature. Numerically it has been shown in case of strain controlled
nucleation, a decrease of the critical nucleation strain favors shear-type fracture
(cup-cone or slant fracture) [59]. Consequently it may be inferred that the change
of nucleation rate due to increasing irradiation would lead to larger shear lips on
the fracture surface. This change of macroscopic fracture behavior may be linked
to the decrease of the USE. Fractographic investigations of irradiated specimens
have to be carried out to investigate this hypothesis.
Simulation of the embrittlement due to irradiation. Irradiation
hardens the material causing an increase of the stresses thus causing earlier brittle
failure. Considering hypothesis irr. 1, this effect cannot account quantitatively
for the whole experimental reference temperature shift  
ﬂ  !

 

. It is therefore
necessary to consider that irradiation also affects  /) and consequently the mean
macroscopic cleavage stress. Irradiation effect is then equivalent to “a cooling
of the material”, the  0)   

curve being shifted toward higher temperatures. The
micromechanical mechanism needs however to be identified. A first hypothesis
which is actually under investigation is the interaction between the irradiation-
induced plastic deformation and population of potential nuclei for cleavage.
Using the value of  0)        determined from Charpy data, the shifts
of fracture toughness index temperature for different level of hardening
corresponding to different level of irradiation were found to be slightly higher
than the corresponding shifts obtained from Charpy energy curves. These
fracture toughness predictions were found to be in agreement with literature
data. The difference decreases with increasing hardening. However it has been
checked that the ASME
	
 curve with  
$'&%( 
 
ﬂ  !
remains a lower
bound for the CT(1T) fracture toughness data.
Effect of the irradiation-induced hardening evolution on the predicted DBT
shifts and USE. Assuming hypothesis irr. 2 would have led for a given deflection
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to smaller stresses and consequently to lower cleavage failure probability. This
implies that using  0) determined for the unirradiated material would have led
to a larger underestimation of the DBT shifts. Consequently the conclusion that
the mean cleavage stress (i.e.  /) ) is affected by irradiation is valid whatever
the chosen hypothesis. This also holds for the actual plastic behavior which is
bounded by hypotheses irr. 1 and irr. 2. The computed    shown on fig. 5
would have been larger. Concerning the USE prediction, using hypothesis irr. 2
would not have led to a decrease but to smaller increase. Consequently the
conclusion that nucleation may be affected by irradiation is valid.
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